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Ejectors are known to be beneficial to vapor compression cycle performance as they can recover the kinetic energy 
released during the expansion instead of dissipating it in a throttling process. It is desirable to introduce an 
adjustable feature to the ejector so that ejector cycle performance can be optimized under different working 
conditions, which could make ejector technology more suitable for real world applications. Vortex control is a 
nozzle control mechanism which can possibly be applied to the control of ejector cooling cycles. It utilizes an 
adjustable vortex at the nozzle inlet to control the nozzle restrictiveness without having to change physical 
dimensions of the nozzle geometry. In this paper, two different approaches are employed to model the initially 
subcooled flashing vortex flow in a convergent nozzle at steady state. The first approach assumes that bubble 
nucleation during the depressurization in the nozzle all occurs at the nozzle wall. Bubbles are regarded as spherical 
particles that grow and move in the liquid flow field. The second approach assumes that there is an evaporation 
wave at the nozzle throat. The bubble generation in the upstream of the evaporation wave is neglected, thus the fluid 
in the upstream of the evaporation wave is assumed to be single-phase incompressible liquid. The modeling results 
are presented and compared with the experimental results. It has been concluded that bubble nucleation may not all 
occur at the nozzle wall at high degree of metastability. Nucleation in the bulk of the liquid might be dominant and 
should possibly be taken into consideration in the modeling. Pressure reduction is required for the kinetic energy 
increase of the nozzle flow in the azimuthal direction when there is inlet vortex introduced. For the same mass flow 
rate through the nozzle, the pressure difference from the nozzle inlet to the center of the nozzle throat increases as 
the inlet vortex becomes stronger. Therefore, less mass flow rate can be driven through the nozzle with stronger inlet 
vortex for the same degree of metastability at the throat and the same inlet conditions. The change in total mass flow 




Ejectors which can recover the kinetic energy released during the expansion process are known to be beneficial to 
vapor compression cycle performance (Elbel and Hrnjak, 2008; Lawrence and Elbel, 2014). However, ejector cycle 
performance is usually sensitive to working condition changes which are common in real world applications. 
Different working conditions require different ejector geometries to achieve maximum performance. Slightly 
different geometries may result in substantially different COPs under the same conditions. Therefore, it is desirable 
to introduce an adjustable feature to the ejector so that ejector cycle performance can be optimized under different 
working conditions, which could make ejector technology more suitable for real world applications (Sumeru et al., 
2012). 
The ejector motive nozzle restrictiveness is one of the key factors that affect ejector cycle COP. It has a direct 
impact on motive mass flow rate. Zhu and Elbel (2016) were the first to introduce vortex control to ejector for the 
control of ejector cooling cycles. A vortex ejector which employs the vortex control to adjust motive nozzle 
restrictiveness differs from a conventional ejector in that an adjustable vortex is generated at the ejector motive inlet, 
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as is shown in Figure 1. The motive inlet vortex can be created by injecting part of the motive flow tangentially. 
After injection the tangential flow will be mixed with the axial motive flow. The total mass flow rate passing 
through the vortex nozzle is equal to the sum of mass flow rates entering through the nozzle’s axial and tangential 
flow inlets. The ejector cooling cycle using a vortex ejector is almost the same as the conventional ejector cooling 
cycle. The only difference is that the flow at the condenser outlet of the vortex ejector cooling cycle is separated into 
two streams. One stream enters the vortex ejector through the motive flow tangential inlet and another enters 
through the motive flow axial inlet. In such a way, a vortex is created at the ejector motive inlet. The ratio of mass 
flow rates through the two inlets can be adjusted by a valve installed at the motive flow tangential inlet, thereby 
changing the vortex strength. The pressure drop across the control valve is usually small. It can be assumed that the 
thermodynamic state at the motive nozzle inlet after the vortex is introduced (downstream of the tangential inlet 
valve) is the same as the refrigerant state at the condenser outlet. 
 
Figure 1: (a) Conventional ejector and (b) vortex ejector 
Zhu and Elbel’s tests on vortex nozzle with initially subcooled R134a show that the strength of the nozzle inlet 
vortex can change the restrictiveness of the two-phase nozzle without the need of changing the nozzle geometry. 
The nozzle becomes more restrictive as the strength of the vortex increases. The mass flow rate can be reduced by 
36% with vortex control under the same inlet and outlet conditions. The control range of inlet pressures and mass 
flow rates that can be achieved by vortex control appears to be large enough to be applicable for real world 
applications. 
In the following sections, two approaches with different assumptions to model the initially subcooled flashing vortex 
flow in a convergent nozzle at steady state will be presented. The modeling results will be provided and compared 
with the experimental results by Zhu and Elbel (2016).  
 
2. FLASHING FLOW IN NOZZLES 
 
In nozzles, the liquid pressure may be dropped far below the saturation pressure without immediate occurrence of 
boiling due to the limited rate of phase change. The limitation on phase change rate during the initial departure from 
saturation pressure is mainly due to the absence of interfacial area and the lack of thermal driving potential. As a 
result, the liquid becomes superheated or metastable. The bubble nucleation within the nozzle starts either at cavity 
defects on the nozzle wall or at the imbedded impurities in the bulk of the liquid. In small geometries which have 
large surface-to-volume ratio, nucleation will occur generally at cavity defects on the nozzle wall. As the geometry 
increases in size so that the surface-to-volume ratio decreases, it is expected that bulk nucleation will become 
important. It is not clear when the transition from wall-dominated to bulk-dominated nucleation will take place 
(Blinkov et al., 1993). Wave-like evaporation has been reported by many researchers in metastable liquid 
evaporation at high degree of metastability and in short nozzles. The phase change process is confined to a narrow 
and observable region with undisturbed metastable liquid in the upstream and a two-phase mixture in the 
downstream (Simoes-Moreira and Shepherd, 1999). It was shown in the experiments examined with subcooled inlet 
by Abuaf et al. (1983) that flashing inception invariably occurred very close to the nozzle throat regardless of the 
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degree of inlet subcooling. A sudden evaporation at the nozzle throat was also observed in Zhu and Elbel’s (2016) 
visualization of initially subcooled flashing vortex flow in the nozzle when the nozzle outlet pressure is low. 
Thermodynamic equilibrium in the bulk of the fluid was attained almost instantly across the evaporation wave 
(Edwards and O’Brien, 1970). 
In this paper, two different approaches are employed to model the initially subcooled flashing vortex flow in a 
convergent nozzle at steady state. The first approach assumes that bubble nucleation during the depressurization in 
the nozzle all occurs at the nozzle wall. Bubbles are regarded as spherical particles that grow and move in the liquid 
flow field. The bubble growth after departure from the nozzle wall is heat transfer controlled. The second approach 
assumes that there is an evaporation wave at the nozzle throat. The bubble generation in the upstream of the 
evaporation wave is neglected, thus the fluid in the upstream of the evaporation wave is assumed to be single-phase 
incompressible liquid. When the flow is choked, it is assumed that the degree of metastability, which was defined by 




      (1) 
where 𝑝𝑚𝑒𝑡𝑎 is the metastable pressure, in the upstream of the evaporation wave does not vary with vortex strength 
and depressurization rate and keeps constant for the same nozzle inlet pressure and subcooling. 
 
3. GOVERNING EQUATIONS 
 
The continuity equation for each phase is 
𝜕𝜌𝑘
𝜕𝑡
+ 𝛻 ∙ (𝜌𝑘𝒗𝑘) = 0     (2) 
The liquid density is assumed to be constant, which equals the inlet subcooled liquid density. The vapor density is 
assumed to be the density of saturated vapor at local liquid pressure. 
The momentum equation for each phase is 
𝜕𝜌𝑘𝒗𝑘
𝜕𝑡
+ 𝛻 ∙ (𝜌𝑘𝒗𝑘𝒗𝑘) = −𝛻𝑝𝑘 + 𝛻 ∙ 𝜺𝑘    (3) 
where 𝜺𝑘 is the viscous stress. 











) 𝒗𝑘] = −𝛻 ∙ 𝒒𝑘 + 𝛻 ∙ (𝝈𝑘 ∙ 𝒗𝑘)   (4) 
where 𝒒𝑘 and 𝝈𝑘 represent the heat flux and the surface stress tensor, respectively. 
The interfacial mass balance between the liquid and vapor phases is 
∑ ?̇?𝑘 = 0
2
𝑘=1       (5) 
where ?̇?𝑘 ≡ 𝜌𝑘𝒏𝑘 ∙ (𝒗𝑘 − 𝒗𝑖) is the interfacial mass efflux from the k
th
-phase. 
A spherical coordinate system, as shown in Figure 2, is used for simplicity of analysis. Since the flow is assumed to 








Figure 2: Schematic of a convergent nozzle in a spherical coordinate system and a Cartesian coordinate system 
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3.1 Bubble Departure (In Approach 1 Considering Only Nozzle Wall Nucleation) 
Bubble nucleation and departure are assumed to take place at where the liquid superheat is larger than zero. 







     (6) 




     (7) 
The frequency of bubble departure per unit area is assumed to be 𝐶𝑑𝑒𝑝𝑎𝑟𝑡(𝑇𝑙𝑖𝑞𝑢𝑖𝑑 − 𝑇𝑠𝑎𝑡  )
3
(Shin and Jones, 1993), 
where 𝐶𝑑𝑒𝑝𝑎𝑟𝑡  is a constant. 
 
3.2 Single Bubble Motion (In Approach 1 Considering Only Nozzle Wall Nucleation) 
It is assumed that vapor generated during the expansion in the nozzle is in the form of spherical bubbles. After the 
departure from the nozzle wall, each bubble is assumed to be moving in an infinite medium. The motion and growth 
of bubbles can affect the liquid flow field. Therefore, the bubbles and the liquid are two-way coupled. When a 
bubble is about to depart from the wall, its velocity is assumed to be zero.  
The resultant force on a single bubble can be expressed as 
𝑭𝑟𝑒𝑠𝑢𝑙𝑡𝑎𝑛𝑡 = 𝑭𝑝𝑟𝑒𝑠𝑠𝑢𝑟𝑒,𝑟 + 𝑭𝑝𝑟𝑒𝑠𝑠𝑢𝑟𝑒,𝜃 + 𝑭𝑑𝑟𝑎𝑔    (8) 







𝑉𝑏𝑢𝑏𝑏𝑙𝑒𝒆𝑟    (9) 






𝑉𝑏𝑢𝑏𝑏𝑙𝑒𝒆𝜃    (10) 
The generalized drag force on a bubble is modeled as 
𝑭𝑑𝑟𝑎𝑔 = 𝑭𝑑𝑟𝑎𝑔
𝐷 + 𝑭𝑑𝑟𝑎𝑔
𝑉      (11) 
where 𝑭𝑑𝑟𝑎𝑔
𝐷  and 𝑭𝑑𝑟𝑎𝑔
𝑉 are the standard drag force and the virtual mass force, respectively. 






    (12) 
where the relative velocity of the bubble with respect to the surrounding liquid is 𝒗𝑟𝑒𝑙𝑎𝑡𝑖𝑣𝑒 = 𝒗𝑏𝑢𝑏𝑏𝑙𝑒 − 𝒗𝑙𝑖𝑞𝑢𝑖𝑑. The 




(1 + 0.1 𝑅𝑒0.75)     (13) 















)    (14) 
 
3.3 Bubble Growth (In Approach 1 Considering Only Nozzle Wall Nucleation) 
The bubble mass growth after the departure from the nozzle wall is assumed to be heat transfer controlled and is 
approximated by quasi steady state. It is assumed that at each moment of time the heat transfer coefficient is given 
by expressions valid for the corresponding constant radius moving bubble. For potential flow around a constant size 
bubble the average Nusselt number is given by  
𝑁𝑢̅̅ ̅̅ 𝑠𝑝ℎ𝑒𝑟𝑒 =
ℎ̅𝐷𝑏𝑢𝑏𝑏𝑙𝑒
𝐾










  (15) 
where 𝜇𝑙𝑖𝑞𝑢𝑖𝑑,𝑠 is the liquid dynamic viscosity evaluated at the bubble surface temperature. The Reynolds number is 
evaluated based on the relative velocity of bubble with respect to the liquid and 𝜇𝑙𝑖𝑞𝑢𝑖𝑑,∞. 
This correlation is valid for 3.5<Re<80000 and 0.7<Pr<380 (Whitaker, 1972). 




2 ℎ̅(𝑇𝑙𝑖𝑞𝑢𝑖𝑑,∞ − 𝑇𝑠𝑎𝑡)   (16) 
 
3.4 Boundary Conditions 
The flow at the nozzle inlet is subcooled liquid. There is no bubble mass flow rate entering the nozzle through the 
inlet. 
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     (17) 
𝑣𝜃(𝑟, 𝜃𝑜) = 0      (18) 
𝑣𝜙(𝑟𝑖 , 𝜃) = 𝑣𝜙(𝑟𝑖 , 𝜃𝑜)
𝑠𝑖𝑛 𝜃
𝑠𝑖𝑛 𝜃𝑜
     (19) 
𝑝(𝑟𝑖 , 𝜃𝑜) = 𝑝𝑖      (20) 
𝑝(𝑟𝑜 , 0) = 𝑝𝑜      (21) 
𝑇(𝑟𝑖 , 𝜃) = 𝑇𝑖      (22) 
where ?̇?𝑡𝑜𝑡𝑎𝑙 is the total mass flow rate through the nozzle, 𝜃𝑜 is the half-angle of nozzle convergent part, 𝑝𝑖  and 𝑝𝑜 
are the nozzle inlet and outlet pressures, respectively, 𝑇𝑖  is the inlet temperature. 𝑝𝑜 is assumed to be the lowest 
pressure at the outlet surface 𝑟 = 𝑟𝑜. The temperature change in adiabatic liquid flow during the expansion in the 
nozzle is generally negligible. The liquid temperature in the nozzle is assumed to be constant and equal to 𝑇𝑖 . 
It is assumed that angular momentum flux is unchanged from where the tangential inlet flow mixes with the axial 









− 𝑐𝑜𝑠 𝜃𝑜 +
2
3
)    (23) 
where  ?̅?𝑡𝑎𝑛,𝑖 = ?̇?𝑡𝑎𝑛,𝑖/𝜌𝑙𝑖𝑞𝑢𝑖𝑑𝜋𝑅𝑡𝑎𝑛,𝑖
2  and ?̇?𝑡𝑎𝑛,𝑖  is the tangential inlet mass flow rate. 𝑅𝑡𝑎𝑛,𝑖,𝑐  and 𝑅𝑡𝑎𝑛,𝑖  are as 
shown in Figure 2. 𝑣𝜙(𝑟𝑖 , 𝜃𝑜) can be calculated once ?̇?𝑡𝑎𝑛,𝑖 , ?̇?𝑡𝑜𝑡𝑎𝑙  and the convergent nozzle dimensions are 
known. 
 
4. SOLUTION PROCEDURE 
 
4.1 Mesh Configuration of the Computational Domain 
In order to discretize the governing equations, uniform mesh is generated for the computational domain. For the 
approach considering only nozzle wall nucleation, bubble departure is assumed to occur at where the liquid 
superheat is larger than or equal to zero. Uniform computational meshes of 400 nodes and 200 nodes are created for 
the no-bubble zone and the bubble departure zone, respectively. Under the conditions considered in the simulation, 
the location where bubble departure starts is very close to the nozzle throat. The distance between the bubble 
departure inception point and the nozzle throat is less than one-tenth of the total length of the nozzle. For the second 
approach assuming evaporation wave at the throat, a uniform computational meshes of 400 nodes is used. 
 
4.2 Liquid Flow Field Assumption 
It is assumed that the vapor mass flow rate in the nozzle compared with that of liquid is negligible. Therefore, 
?̇?𝑡𝑜𝑡𝑎𝑙 ≈ ?̇?𝑙𝑖𝑞𝑢𝑖𝑑. 
The liquid velocity field in the whole computational domain of the convergent nozzle is assumed to be 
𝑣𝑟(𝑟, 𝜃) = 𝑣𝑟(𝑟)      (24) 
𝑣𝜃(𝑟, 𝜃) = 0      (25) 
𝑣𝜙(𝑟, 𝜃) = 𝑣𝜙(𝑟, 𝜃𝑜)
𝑠𝑖𝑛 𝜃
𝑠𝑖𝑛 𝜃𝑜
     (26) 
When there is no bubble existing in the flow and with the above velocity profile assumptions, the momentum 
equation in the 𝜃 direction can be written as 
−
𝑣𝜙







     (27) 
After integration 







   (28) 
 
4.3 Wall Shear Stress Modeling 





2(𝑟, 𝜃𝑜) + 𝑣𝜙
2 (𝑟, 𝜃𝑜)]    (29) 










)  (Swamee–Jain equation)    (30) 
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𝑅𝑒 = 𝜌𝑙𝑖𝑞𝑢𝑖𝑑√𝑣𝑟2(𝑟, 𝜃𝑜) + 𝑣𝜙
2 (𝑟, 𝜃𝑜)𝐷𝑁/𝜇𝑙𝑖𝑞𝑢𝑖𝑑    (31) 












𝜏𝑤𝑎𝑙𝑙(𝑟)     (33) 
4.4 Numerical Method 
The governing equations have been discretized based on the finite volume method. The bubble motion and growth is 
approximated by Euler method. The frequency of bubbles departure between 𝑟[𝑖] and 𝑟[𝑖 + 1] is calculated as 
𝑛[𝑖] = 𝐶𝑑𝑒𝑝𝑎𝑟𝑡(𝑇𝑙𝑖𝑞𝑢𝑖𝑑[𝑖] − 𝑇𝑠𝑎𝑡[𝑖])
3
𝜋(𝑟[𝑖] + 𝑟[𝑖 + 1])𝑠𝑖 𝑛(𝜃𝑜) (𝑟[𝑖] − 𝑟[𝑖 + 1]). (34) 
The contributions of vapor in the mass and momentum equations are regarded as negligible. 
The momentum equations are discretized by using first order upwind differencing. The shear stress from the velocity 
gradient in the radial direction is not considered. 
 
5. RESULTS AND DISCUSSION 
 
5.1 Simulation and Experimental Test Conditions 
A summary of geometric parameters of the vortex convergent-divergent nozzle used for experimental tests in Zhu 
and Elbel (2016) is provided in Table 1. The nozzle throat has been measured with higher accuracy as small change 
in throat diameter may result in large difference in flow rate. 
Table 1: Vortex nozzle geometric parameters 
Nozzle inlet diameter (mm) 15.0 
Nozzle throat diameter (mm) 1.03 
Nozzle outlet diameter (mm) 1.7 
Nozzle convergent part length (mm) 9.9 
Nozzle divergent part length (mm) 40.0 
Tangential inlet inner diameter (mm) 2.0 
 
In the simulation, only the convergent part of the nozzle is considered and it is assumed that the choked mass flow 
rate through the nozzle is determined by the convergent part of the nozzle. The geometric parameters in the 
simulation are kept the same as shown in Table 1. 
 
5.2 Considering Only Nozzle Wall Nucleation 






 so that the choked nozzle total mass flow rate with no inlet vortex matches the 
experimental results. The wall surface roughness is set to 0.1 mm. Figure 3 shows the influence of the vortex nozzle 
outlet pressure on the vortex nozzle total mass flow rate at different inlet vortex strengths under constant inlet 
conditions 𝑝𝑖  = 925 kPa and 𝑇𝑖  = 36 ºC. Vortex strength in this paper is defined as the ratio of the nozzle tangential 




      (35) 
It can be observed that when there is no inlet vortex, the flow is choked at low nozzle outlet pressure as decrease in 
outlet pressure does not increase the mass flow rate significantly. However, after the inlet vortex is applied, the flow 
may no longer be choked even at low nozzle pressure. For example, when the vortex strength is 0.6, the total mass 
flow rate increases from 16.5 g s
-1
  to 16.9 g s
-1
 as the outlet pressure decreases from 385 kPa to 176 kPa. Because of 
the pressure gradient in the 𝜃 direction caused by the vortex, the pressure near the wall is much higher than the 
pressure at the nozzle centerline at the same radial distance from the spherical coordinate origin. The high pressure 
near the wall suppresses the bubble departure frequency which is proportional to [𝑇𝑙𝑖𝑞𝑢𝑖𝑑 − 𝑇𝑠𝑎𝑡(𝑝𝑤𝑎𝑙𝑙)]
3  and 
therefore there is not enough bubble generation to choke the flow. Nevertheless, it has been observed in the 
experiments that the nozzle flow can always be choked at low outlet pressure regardless of the inlet vortex strength, 
as is shown in Figure 4. Therefore, at high degree of metastability there might be nucleation sites other than those at 
the nozzle wall, which are very likely in the bulk of the liquid, that trigger enough bubble generation to choke the 
flow. 
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Figure 3: Influence of vortex nozzle outlet pressure on the vortex nozzle total mass flow rate at different vortex 
strengths under constant inlet conditions pi = 925 kPa and Ti = 36 ℃ by modeling 
 
 
Figure 4: Influence of vortex nozzle (convergent-divergent) outlet pressure on the vortex nozzle total mass flow rate 
under constant inlet conditions pi = 925 kPa and Ti = 36 ℃ by experiments (Zhu and Elbel, 2016) 
Figure 5 compares the choked mass flow rates at different inlet vortex strength from the experiments with modeling 
results at low nozzle outlet pressures and constant inlet conditions 𝑝𝑖  = 925 kPa and 𝑇𝑖  = 36 ºC. It can be observed in 
the modeling results that the total mass flow rate decreases as the vortex becomes stronger. However, poor 
agreement has been achieved between the experimental and modeling results. The vortex strength at which the total 
mass flow rate starts to drop significantly is about 0.3 in the modeling results, while that achieved from the 
experiments is about 0.1.  
The simulation results achieved by the first approach suggest that at high degree of metastability the bubble 
nucleation may not all occur at the nozzle wall. Nucleation in the bulk of the liquid might be dominant and should 
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Figure 5: Comparison of choked mass flow rates at different inlet vortex strength from the experiments with 
modeling results by approach 1 at low nozzle outlet pressures and constant inlet conditions pi = 925 kPa and 
Ti = 36 ℃ 
5.3 Evaporation Wave at the Nozzle Throat 
For the second approach, only simulation results for the choked vortex nozzle flow are presented. 
For inlet conditions 𝑝𝑖  = 925 kPa and 𝑇𝑖  = 36 ºC, the metastable pressure in the upstream of the evaporation wave 
when the flow is choked is assumed to be 753 kPa so that the choked nozzle total mass flow rate with no inlet vortex 
matches the experimental results. The lowest pressure at the convergent nozzle outlet surface 𝑟 = 𝑟𝑜 is assumed to 
be equal to this metastable pressure when the flow is choked. The modeling results for choked flow with different 
nozzle wall surface roughnesses are compared with the experimental results in Figure 6. The results achieved by the 
second approach agree with the experimental results for choked flow (high degree of metastability) better than the 
first approach. 
The influence of inlet vortex strength on the nozzle flow from the modeling shows similar trend as in the 
experimental results. When the vortex strength is close to zero, the total choked mass flow rate through the nozzle is 
almost unaffected as the vortex strength increases. When the vortex strength increases to around 0.1, significant drop 
in the total choked mass flow rate can be observed. The decreasing rate of the total choked mass flow rate will first 
increase and eventually slows down at large vortex strength.  
The influence of inlet vortex on the nozzle flow rate can be explained as follows: 
During the depressurization of the vortex flow in the convergent nozzle, both azimuthal and radial velocities 
increase from the nozzle inlet to the throat. To drive the same mass flow rate through the nozzle, kinetic energy 
increase in the radial direction is the same from the nozzle inlet to the outlet regardless of the vortex strength. 
However, additional pressure reduction is required for the kinetic energy increase in the azimuthal direction when 
there is inlet vortex introduced. The stronger the inlet vortex is, the more kinetic energy increase in the azimuthal 
direction is and the more pressure reduction is needed. Therefore, for the same mass flow rate through the nozzle, 
the pressure difference from the nozzle inlet to the center of the nozzle throat (i.e. the lowest pressure point at the 
throat) increases as the inlet vortex becomes stronger. Since the metastable pressure at the throat when the flow is 
choked is assumed to be constant for the same nozzle inlet pressure and temperature, less mass flow rate can be 
driven through the nozzle with stronger inlet vortex.   
The larger the surface roughness is, the larger the wall shear stress is and the vortex strength decays quicker in the 
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Figure 6: Comparison of choked mass flow rates at different inlet vortex strength from the experiments with 
modeling results by approach 2 at constant inlet conditions pi = 925 kPa and Ti = 36 ℃ 
The discrepancies between the modeling by the second approach and the experimental results might be due to the 
following reasons: 
 Oversimplification of the flow velocity profile and inappropriate turbulent wall shear stress model. 
 Varying metastable pressure in the upstream of the evaporation wave. Vortex strength and depressurization 
rate may have an influence on the maximum achievable degree of metastability. 
 Vortex strength may have significant decay as the vortex flow travels from the vortex nozzle tangential 




Two approaches have been employed to model the initially subcooled flashing vortex flow in the nozzle at steady 
state. The first approach assumes that bubble nucleation during the depressurization in the nozzle all occurs at the 
nozzle wall. The second approach assumes that there is an evaporation wave at the nozzle throat and the fluid in the 
upstream of the evaporation wave is assumed to be single-phase incompressible liquid. When the flow is choked, 
constant degree of metastability in the upstream of the evaporation wave has been assumed for the same nozzle inlet 
pressure and temperature. The simulation results by the first approach suggest that the bubble nucleation may not all 
occur at the nozzle wall at high degree of metastability. Nucleation in the bulk of the liquid might be dominant and 
should possibly be taken into consideration in the modeling. The results achieved by the second approach show 
better agreement with the experimental results for choked flow. Pressure reduction is required for the kinetic energy 
increase in the azimuthal direction when there is inlet vortex introduced. Therefore, for the same mass flow rate 
through the nozzle, the pressure difference from the nozzle inlet to the center of the nozzle throat increases as the 
inlet vortex becomes stronger. Since the metastable pressure at the throat when the flow is choked is assumed to be 
constant for the same nozzle inlet pressure and temperature, less mass flow rate can be driven through the nozzle 
with stronger inlet vortex. The change in total mass flow rate is smaller for the same inlet vortex strength with larger 
surface roughness. The discrepancies between the modeling with the second approach and experimental results 
might be due to oversimplification of the flow velocity profile and inappropriate turbulent wall shear stress model, 
influence of vortex strength and depressurization rate on the maximum achievable degree of metastability, and the 
decay of vortex strength as the vortex flow travels from the vortex nozzle tangential inlet to the starting point of the 




































Vortex Strength (-) 
Experimental: Inlet 925
kPa 36 ºC (Choked)
Roughness = 0 mm
Roughness = 0.01 mm
Roughness = 0.1 mm
Roughness = 0.2 mm
Roughness = 0.4 mm
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NOMENCLATURE 
 
CD drag coefficient (–)  
D diameter (m) 
F force (N) 
h heat transfer coefficient (W m-2 K-1) 
hfg enthalpy of vaporization (J kg
-1
) 





m mass (kg)    
ṁ mass flow rate (kg s-1) 
Nu Nusselt number (–) 
p pressure (kPa) 
Pr Prandtl number (–) 
r radial distance (m) 
R radius (m) 
Re Reynolds number (–) 
t time (s) 
T temperature (ºC) 
u specific internal energy (J kg
-1
) 









𝜖 surface roughness (mm) 
λ friction factor (–) 
μ dynamic viscosity (Pa s) 
П degree of metastability (–) 
ϕ azimuth angle (rad) 
ρ density (kg m-3) 
τ shear stress (Pa) 
θ polar angle (rad) 
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